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Abstract.  A structural reliability method is applied to calibrate the safety factor of a fatigue 
design method for the mooring lines of floating offshore platforms.  Both methods are based 
on the Miner Palmgren hypothesis for the accumulation of fatigue damage.  The reliability 
analysis takes explicit account of the various uncertainties in the fatigue capacity, the damage 
accumulation and the calculation of mooring line tensions.  These uncertainties are all 
intended to be covered by the safety factor in the design analysis.  The uncertainty in the 
fatigue capacity is developed for chain and steel wire rope.  A test set of six floating platforms 
in various water depths is considered.  The effect of varying numbers of mooring line 
components is taken into account.  A target probability of failure is established.  The safety 
factor of the design method is calibrated to yield designs close to the target probability.  This 
calibration is effected by minimising an objective function based on the difference between 
target probability and calculated probability of failure for the mooring lines in the test set.  
Under-design is penalised more heavily than over-design.    

1 INTRODUCTION 
Offshore petroleum production has gradually been moving into deeper water, requiring 

floating platforms with longer and longer mooring lines.  Det Norske Veritas and Marintek 
organised a joint industry project in 1996, to extend a design standard for positioning systems 
to deeper water.  Structural reliability methods were systematically used to calibrate the 
design limit states.  This implies that the design requirements are optimised such that they 
yield designs with the specified target reliability. Thus, the reliability level implied by each 
limit state is now quantified and the reliability of mooring lines designed to the standard can 
chosen to be consistent with the consequences of failure, and with the reliability of other 
components of the offshore production system.  The calibration of the ultimate and accidental 
limit states has previously been published[1],[2].  The present paper describes the calibration of 
the fatigue limit state[3].  The results of the calibrations are incorporated in DNV’s offshore 
standard for position mooring[4]. 

2 CALIBRATION METHOD 
An overview of the calibration process is shown in Figure 1, based on the principles stated 

in ref. [5].  The process starts by defining the scope of the design code that is to be calibrated.  
A set of test structures is then chosen to span this scope, while limiting the size of the test set 
to avoid excessive computational effort in the calibration.  The target reliability level for the 
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design code also has to be chosen.  This can be a difficult choice, and will typically be 
preceded by some pilot reliability analyses.  The initial format of the design criterion is then 
chosen and expressed as a design equation to provide the single missing parameter in the 
specification of each test design.   
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Figure 1:   Overview of calibration process. 

An iteration loop forms the main part of the process, in which the design code is adjusted 
in order to yield designs with the target reliability.  Any aspect of the design code can be 
modified, but it is convenient to simply discuss modification of the fatigue safety factor γ .  
This factor is given a trial value at the start of the iteration.  Each mooring system in the test 
set is designed to satisfy the design equation, using the assumed safety factor.  The probability 
of failure [ ]γFiP  is determined for each mooring system in the test set ni ,...,2,1= , and is 
effectively a function of the trial value of the safety factor γ .  An objective function is 
applied to assess the distance of the obtained reliabilities from the target reliability.  The 
objective function is formulated as 

[ ]( )∑
=

=

−=∆
ni

i
TFi PP

1

2γ  
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where TP  is the target probability of failure.  The optimum safety factor is found by 
minimizing the value of this objective function.  Note that this form of objective function 
penalises under-design more than over-design.  This is seen as a desirable property when 
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calibrating a design standard. 
The steps in the calibration process are described in more detail in the following sections 

of the paper.  Some testing and checking of the design standard is carried out after an 
optimum safety factor has been determined. 

3 SCOPE OF DESIGN STANDARD 
The design code is intended to be applicable to positioning systems for most types of 

offshore platforms all over the world, in water depths down to about 2000m.  Slack (catenary 
type), semi-taut and taut mooring systems are included, with chain and steel wire rope line 
segments.  The standard also include synthetic fibre mooring line, but these components are 
excluded from the present calibration.  Thruster assisted systems are included, but dynamic 
positioning (without any mooring lines) is not covered.  Mobile and permanent platforms for 
drilling, production, storage, maintenance and accommodation are included.  Postioning of 
platform types such as semisubmersibles and turret-moored ships, as well as slack moored 
loading buoys are covered, while tension leg platforms are excluded.  The design standard 
covers the evaluation of environmental loads on the system, resulting platform motions and 
mooring line tensions, and the dimensioning of the mooring line components. 

3.1 Test set 
Six different application examples were selected for the test set.  They comprise a turret-

moored ship and a semisubmersible, each moored at three different water depths; i.e. 70 m, 
350 m and 2000 m for the ship and 70 m, 350 m and 1000 m for the semisubmersible.  The 
main particulars of the ship and the semisubmersible are given in Table 1.  A spar platform 
was not included in the test set, but some guidance concerning the fatigue effects of vortex-
induced motions, which have been encountered with this platform type, is included in the 
most recent version of DNV’s standard[4]. 

 
ITEM Ship Semisubmersible 
Length  (m) 215 121 
Breadth o.a.  (m) 42 95.3 
Draught  (m) 16 21 
Distance midship-turret (m) 90 - 
Displacement  (tonnes) 120 000 52 500 
Number of Columns - 4 
Column cross-section  (m) - 16.6 × 16.6 
Number of pontoons - 4 
Pontoon breadth × height  (m) - 16.6 × 8.4 

Table 1   Main parameters of platforms in the test set. 

The ship is equipped with 8 mooring lines evenly spread around the compass directions.  
The semisubmersible has 12 mooring lines in clusters of 3 lines at each corner, where the 
angles between the lines in a cluster are 5 degrees.  Separate mooring systems were specified 
for the ship and the semisubmersible at the different water depths.  Realistic combinations of 
wire and chain segments were used, and dimensioned according to the ultimate limit state of 
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the existing design standard.  All lines within each system are identical.  A buoy was included 
in the lines for the case in 2000 m water depth. 

Environmental conditions representative of the Norwegian Sea, from Haltenbanken, are 
applied, including wind, wave and current effects.  The actual empirical frequencies of the 
various compass directions are used, such that the fatigue damage varies between the lines of 
a mooring system.  Alternative environmental conditions from the Gulf of Mexico were also 
considered in the calibration of the ultimate and accidental limit states, but this was not 
considered necessary for the fatigue limit state, because of the close correspondence between 
the design and reliability analyses for fatigue. 

4 RELIABILITY ANALYSIS 
The reliability analysis applied in the present calibration is based on the model developed 

in the PROMOOR joint industry project[6][7].  The calibration is intended to provide a good 
basis for the design of mooring line segments made of chain or steel wire rope.  Thus, the 
main focus of the work is on these types of components, on the random modelling of their 
fatigue properties, and on the effect of many components of these types.  The formulation of 
the reliability analysis is briefly presented below, together with a specification of the 
probability distributions of the random variables that are involved. 

4.1 Failure of a single component 
A mooring line may be assembled from a large number of different components, of various 

types, such as chain links, connecting links, steel wire rope segments, synthetic rope segments 
and rope terminations.  Fatigue failure is conceivable in any of these components.  The 
possibility of failure in each individual component may be assessed on the basis of the Miner-
Palmgren hypothesis.  Under this hypothesis, the fatigue damage experienced by a single 
component is expressed by 

∫
∞

=
0
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where 0n  is the total number of stress cycles encountered by the component, s represents the 
peak-to-trough range of a stress cycle, )(sf S  is the probability density function of the stress 
ranges, and )(snC  is the number of stress cycles at constant stress range s required to induce 
fatigue failure in the component.  This fatigue property of the component is usually 
determined experimentally and expressed by a function of the type 

m
C sasn −⋅=)(  (2) 

where a is the intercept parameter and m is the slope parameter of the S-N curve in 
logarithmic form; c.f. section 4.4.  Substitution of equation (2) into equation (1) gives 
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indicating that the fatigue damage is proportional to the expected value of the stress ranges 
raised to the power m; i.e. [ ]mSE .  In practice, it is convenient to first compute the 
contribution to the fatigue damage from a stationary environmental state, and subsequently 
integrate over the domain of environmental states to obtain the total fatigue damage 

[ ]∫=
Ψ

Ψ ψψψψ dfSE
a
td mD )()()(ν  

(4) 

where Dt  is the service life duration, Ψ  is the environmental state vector, )(ψν  is the mean 
up-crossing rate of the stress process through the mean value, and )(ψΨf  is the joint 
probability density function of the environmental variables.  The environmental state vector 
includes components describing the heading angles, as well as wind, wave, and current 
conditions.  Both wave-frequency and low-frequency contributions to the stress ranges are 
included.  The dual narrow-banded approach is used to compute the expected value of the 
stress ranges raised to the power m in the individual environmental states.  This approach has 
been developed by Jiao[8], and applied to mooring line fatigue by Lie and Fylling[9]. 

The fatigue damage expressed by equation (4) is a deterministic quantity as it stands.  
Random variables are involved in the environmental states and in the stress process, but the 
integration in equation (4) effectively provides a deterministic expected value as the result.  In 
practice, the fatigue damage is known to be associated with considerable uncertainty, 
implying that it should be treated as a random variable.  This characteristic is built into the 
present model by including the uncertainty present in the various quantities involved in 
equation (4).  The following model uncertainties are included: 

1Q  for the computed low-frequency motion of the upper terminal point on the platform,  

2Q  for the computed wave-frequency motion of the upper terminal point, 

3Q  for the mooring line response model for quasi-static tension, arising from mean offset 
and low-frequency motions of the platform, 

4Q  for the mooring line response model for dynamic tension, arising from wave-
frequency motion of the platform, 

5Q  for the cycle-counting algorithm used to combine the low-frequency and wave-
frequency stress components, 

6Q  for the Miner-Palmgren hypothesis for the combination of fatigue damage due to stress 
cycles of a stochastic process, based on results of tests at constant frequencies and 
amplitudes, and excluding explicit consideration of the mean stress, 

These model uncertainties may all be conveniently collected in the random vector Q . This 
random vector only includes components that apply to all physical components of a mooring 
line segment.  Hence, it may be referred to as a global variable. 

In addition, there is an inherent variability between the fatigue strength of different 
mooring line components.  This uncertainty may be modelled by treating the intercept 
parameter of the S-N curve as a random variable, and quantifying its variability from the 
experimental test data, as discussed in section 4.4.  This variability may be split into two 
parts: 
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7Q  the global uncertainty in the intercept parameter for a type of mooring line 
components applied in a specific mooring line, 

L  the local variability in the intercept parameter between components of the same type, 
within a specific mooring line. 

The first of these two items takes on the same value for all components of a single type, 
within a specific mooring line, hence it is included in the vector Q .  The second varies 
randomly between components of the same type and manufacture, within a specific mooring 
line, and the random variable L  is introduced to represent this trait. 

Either one or both the parameters of the S-N curve could be treated as random variables.  
In the present case only the intercept-parameter a is treated randomly, such that 

lqa += 7)log(  (5) 

The effects of these random variables may now be indicated by rewriting equation (4) as 

[ ]∫
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where the model uncertainty factors 51,...,qq  are associated with the corresponding variables 
in the computation of stress ranges and mean up-crossing rate. 

The probability of failure of a single component may be expressed by 

[ ]61 ),( QLDPPf >= Q  (7) 

where the Miner-Palmgren uncertainty 6Q  would typically taken as unity in a deterministic 
analysis.  The usual convention is applied, of using upper case symbols for the random 
variables themselves, and the corresponding lower case symbols for realisations of these 
random variables. 

4.2 Failure of Many Components of the Same Type  

Consider Ii ,...,2,1=  mooring line components of a particular type; e.g. chain links of a 
specific type, dimension and manufacture.  The same stress ranges are assumed to apply to all 
components of the same type in a single mooring line, for the purpose of this fatigue analysis.  
This is a reasonably good approximation, which considerably simplifies the analysis.  The 
fatigue damage function for each component is simply obtained from equation (6), by 
attaching an index i, for the component number, to the only variable that varies between 
components of the same type, namely l, the local variability of the a-parameter of the S-N 
curve, 

[ ] IidfSE
qla

tld m

i

D
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The probability of failure of the part of the line containing these components is expressed 
by the complement of the probability that no component shall fail; i.e. by the intersection of 
the survival events for all components 
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The survival events for the individual components are not stochastically independent.  
They are dependent on the random vector Q .  However, by considering the probability of 
failure conditional on this random vector, independent component events are obtained 
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The multiplication rule may now be applied to obtain 
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where )( qQ dF
iD  is the conditional probability distribution of the damage for an individual 

component of this type, which can conveniently be computed using the PROBAN program[10].  
The problem formulation has been arranged to make the component-wise uncertainty iL  
independent and identically distributed between components of the same type, so that the 
multiplication rule can be applied to obtain equation (11).   

The marginal probability of failure for these components is obtained using the theorem of 
total probability 

∫=
Q

QQ qq dfqPP fIfI )()(  
(12) 

where )(qQf  is the probability density function for the global uncertainty vector Q .  This is 
the accumulated probability of failure at any time in the design life Dt .  The probability of 
failure prior to the last year is obtained by using )1( −Dt  in the expressions above (provided 

Dt  is in units of years).  The marginal probability of failure in the last year is the difference 
between these two probabilities.  In principal, it seems more correct to consider the 
conditional probability of failure in the last year for the purpose of initial design, by assuming 
that a fatigue failure does not occur prior to the last year.  However, there is negligible 
difference between the marginal and conditional probabilities of failure in the final year, when 
the accumulated probability of failure is small.  (The difference can become significant when 
the accumulated probability is not small, but this would be inappropriate in design.) 

This completes the probabilistic formulation of the fatigue limit state for a segment of a 
mooring line.  An extension to several segments of different types is straight forward, but 
seldom necessary, because one type of component usually tends to dominate the probability 
of failure of a line.  To compute failure probabilities, it is necessary to specify the 
distributions of the random variables, and to calculate the spectral moments of the stress 
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ranges, in a representative set of environmental states.  The MIMOSA program[11] is used to 
calculate the line tensions in the present case. 

4.3 Failure of two lines 
Fatigue failure of a single mooring line is often viewed as an event with minor 

consequences, beyond the cost of repairing or replacing the failed line.  After all, design with 
respect to the accidental limit state ensures that mooring systems have a certain amount of 
redundancy.  However, fatigue failure of a second line, before the first failure has been 
rectified, may be much more serious and this possibility needs to be considered. 

 It is common practice to employ similar mooring line components in all the mooring lines 
attached to a single platform.  The main body of each line is composed of a large number of 
components (chain links or segments of wire rope) of the same type, or of a few different 
types.  Although there is likely to be considerable variation in the fatigue capacity of the 
individual components, the fatigue capacity of each line will be governed by the fatigue 
capacity of the weakest component in each line.  The process of selecting the weakest 
component from a large number of similar components tends to reduce the final variability 
considerably; i.e. mooring lines constructed from many identical components tend to have 
very nearly the same fatigue capacity.   

When mooring lines are equally spaced around a platform, then the usual variation of the 
environmental loading around the platform will tend to ensure that one or two lines 
experience a higher fatigue load than the other lines.  The spacing between the lines tends to 
govern the difference in the fatigue loads.  If the lines are widely spaced, then there is likely 
to be appreciable difference between the highest fatigue load, and the fatigue load in an 
adjacent line.  If two lines are closely spaced, then they will tend to experience very nearly the 
same fatigue load. 

If a line contains a fatigue crack that has grown to a significant size, then fatigue failure is 
most likely to occur in a moderate or severe storm, when the tension in the line is sufficient to 
overcome the residual strength of the line.  If an adjacent line has nearly the same fatigue 
strength, and has experienced nearly the same fatigue load, then it may well fail in the same 
storm.  This scenario is exacerbated by the increase in tension due to the initial failure.  Such 
a situation should, in many cases, be considered to have substantial consequences, because 
further damage may then be very likely; e.g. 

• collision with a platform that is within reach after two lines have failed, or 
• fracture of risers leading to pollution and/or fire/explosion, or 
• complete mooring system failure, and risk of collision with other platforms. 
Note that the fatigue failures may well occur in a moderate storm which is not sufficiently 

severe to require shut down of normal drilling or production operations. 
This qualitative discussion clearly needs to be followed up by some quantitative analysis.  

The S-N type fatigue analysis that is employed here is not ideal for this purpose, because it 
implies a uniform rate of fatigue damage, and does not model the final rupture event in any 
detail.  Fracture mechanics models are better suited.  However, the S-N analysis can be bent 
to this task by jointly considering initial fatigue failure of one line in the final year of the 
design life, and subsequent failure of a second line within one month of the initial failure.  
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This one month interval is intended to roughly represent the incremental fatigue damage, and 
rupture possibility, that would be accumulated in the second line during the same storm. 

The probabilistic formulation of this two-line failure event is most conveniently written in 
terms of the random time to line failure fT , rather than the maximum accumulated damage in 
any component of the line D  that is considered above.  This change is simply accomplished 
using, in principal, 

)(
)( 6

q
q

d
tqt D

f
⋅

=  (13) 

where the extreme minimum distribution of the intercept parameter a  amongst the 
components of the line segment is applied in computing the damage rate.  The combined 
event is composed of the underlying events 

• failure of line A in the design life     DfA tT <  
• survival of line A  up to the last year of the design life   1−> DfA tT  

• failure of adjacent line B within one month after failure of line A  12
1<− fAfB TT  

• survival of line B  up to the last year of the design life   1−> DfB tT  
Hence, the combined probability may be written as 

( )
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



 −>−>





 <−< II 11

12
1

DfBDfAfAfBDfA tTtTTTtTP  
(14) 

There is an inaccuracy in this formulation of the combined probability, because it includes the 
possibility of failure of line B prior to line A, during the final year.  However, the effect of 
this inaccuracy should be relatively small in the analysis, because line B is modeled as the line 
with the lesser fatigue loading. 

4.4 Fatigue capacity 
In order to obtain a consistent calibration of safety factors for fatigue, it is important to 

have consistency between the fatigue curves applied in the reliability analysis, and the 
corresponding curves applied in the design analysis.  Fatigue testing is both expensive and 
time consuming, and only limited amounts of data are available.  Generally there are a large 
number of physical effects that may affect the fatigue capacity, and there has been a tendency 
for investigators to address too many variables from too few tests, thus diluting the overall 
value of the test results [12].  In addition, the test procedures and results are often not fully 
documented, which makes misinterpretation of test data possible. 

The present work tries to combine established design practice with additional knowledge 
gained from analysis of test results.  In particular, statistical analysis has been performed on 
fatigue test data for mooring chain, provided to the project by Scana Ramnäs[13] (32 tests ) and 
by Vicinay Cadenas (19 tests).  Additionally, 14 tests from an extensive joint industry study 
on studless chain fatigue[14] were also considered.  Finally, results of available chain tests[12] 
have also been used. 
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No new data for steel wire rope have been analysed in the present work. A review of test 
data for both chain and steel wire rope was performed and presented in [6], based on work 
carried out at Transport Research Laboratory[15].  The results from that study are considered in 
the present work. 

The basic equation for the S-N curve is given in equation (2).  Nominal stresses are used, 
obtained by dividing the line tension by the nominal cross-sectional area of the chain 
( 2diameter2/ ×π ) or the wire rope ( 2diameter4/ ×π ).  The stress basis is preferred to the 
relative tension basis applied to chain in API RP 2 SK[16], because the normalisation with 
respect to the breaking strength of ORQ type chain is arbitrary and involves a term in the cube 
of the chain diameter.  This term is presumably relevant with respect to nonlinear link 
behaviour at the very high stresses required to break a link, but not for linear link behaviour at 
the low stresses involved in fatigue.  This approach might be criticised with respect to wire 
rope, because the nominal area is different from the actual steel cross-sectional area. 
However, this criticism can largely be avoided by treating different rope constructions 
separately. 

Equation (2) is written in a logarithmic from for the purpose of fitting the test data: 
)log()log()log( sman ⋅−=  (15) 

The fatigue test data have been analysed, and ( )alog  and m have been computed by linear 
regression analysis.  The standard deviation of ( )alog  is computed for m fixed, and represents 
the uncertainty in the S-N curve.  An approach[18] to handle run-outs (components which did 
not fail during a limited test duration) was applied in some of the exploratory analyses, but it 
had a relatively small effect on the fitted parameters, and was not used on the results shown 
here. 

The present calibration work for fatigue focuses on the main body of mooring lines.  Only 
tension fatigue is considered.  Fatigue properties for line terminations and connecting links 
are not discussed further here.  Recent results for additional stresses in chain links on a 
fairlead may be found in ref.[17].  

The statistical analysis showed that the uncertainty comprising all tests is greater than for 
individual sub-sets. The uncertainty has been divided into a local and a global uncertainty in 
the intercept parameter to reflect this behaviour.  The global uncertainty models the 
uncertainty relative to the generic mean S-N curve, for a certain type of mooring line 
components applied in a specific mooring line, whereas the local uncertainty reflects the 
variability between components of the same type within that mooring line. The test results 
give some support for an approximately equal split between local and global uncertainty. 

A summary of the fatigue parameters used in the reliability analysis and for the design 
analysis is included in Table 2.  It was found necessary and sufficient to distinguish between 
results for stud-link and studless chain, and between six-strand and spiral-strand rope.  
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Fatigue curve parameters PROBAN input  No of 
tests Design 

ad 
Mean 

a m Std.dev. 
log(a) 

Mean 
log(a) 

Variance 
log(a) 

CHAIN 
Stud-link 174 1.2·1011 3.52·1011 3.0 0.26 11.55 0.0576 
Studless 66 6.0·1010 1.80·1011 3.0 0.14 11.26 0.0576 
STEEL WIRE ROPE 
Six strand 96 3.4·1014 1.04·1015 4.02 0.29 15.02 0.0576 
Spiral strand 16 1.7·1017 4.99·1017 4.84 0.20 17.70 0.0576 

Table 2   S-N fatigue parameters for the reliability and design analysis. 

Standard procedure is to take the design curve at 2 standard deviations below the mean 
curve.  This procedure is followed here, but some judgement is applied to the evaluated 
standard deviations.  There is a fair amount of variation in most cases, except for studless 
chain which is heavily dominated by one set of experiments, from one laboratory, for 76 mm 
diameter chain.  This may possibly be the reason why a much lower residual variability is 
obtained for studless chain in Table 2.  It does not seem prudent to take full advantage of this 
result when establishing a generic design curve, until it has been better confirmed for a wider 
set of conditions.  Instead it is proposed to apply a weighted mean value of 0.24 for the 
standard deviation in log(a) to all 4 component types included here.  Thus the design values in 
Table 2 are obtained as: 

( ) ( ) 24.02loglog ×−= aad  (16) 

The regression results were generally not very sensitive to the m value. For chain the value 
of 3 represents a reasonable compromise for the various sub-sets, including salt water tests. 
The actual value obtained in the regression analysis is used for steel wire rope. 

Results from chain tests[12],[13],[14] were used to quantify the effect of salt water on chain 
endurance as compared to tests in air.  A reduction factor of 2 on fatigue life was found for 
stud-link chain.  This factor is low compared to the factor of 3 incorporated in ref.[19].  On 
the other hand, a reduction factor of 5 was found for studless chain.  The difference in these 
results for the two types of chain links is puzzling. 

The thickness effect was also investigated for chain links. This effect was found to be 
relatively small compared with other welded structures, and some slightly conflicting results 
were obtained for R3 and R4 chain.  The application of a thickness correction was therefore 
rejected. 

A comparison of the API recommended practice[16] with the present results was carried out. 
The difference for stud-link chain is relatively small.  For steel wire rope the API curve is 
somewhat more conservative, especially for six-strand rope.  The effect of mean load, as 
accounted for in the API rules, has not been included here since this could not be justified on 
the basis of the test results that were considered. 

4.5 Random variables 
The distributions of the random variables that are applied in the reliability analysis are 

summarised in Table 3.  The model uncertainties on the line tension calculation are as used in 



J.Mathisen, T.Hørte. 

 12 

ref.[7], and based on comparisons of calculations by MIMOSA[11] with model tests and 
alternative calculations. The uncertainty in the cycle-counting algorithm is based on the 
comparison of the dual narrow band algorithm with rainflow counting by Lie and Fylling[9]. 

Wirsching and Chen[21] have collected information on the uncertainty in the Miner-
Palmgren hypothesis.  They cite a number of investigations with median damage at failure 
ranging from 0.69 to 1.15 and coefficient of variation (CoV) from 0.19 to 0.67.  They have 
applied a log-normal distribution with median 1.0 and CoV 0.30 in their example for TLP 
design criteria[20].  This corresponds to a mean value of 1.04 and standard deviation of 0.31, as 
specified here. 

 
Variable Symbol Distribution Mean value Std.dev. 
Uncertainty in LF motion Q1 Normal 1.0 0.1 
Uncertainty in WF motion Q2 Included in Q4 - - 
Uncertainty in QS tension calculation Q3 Normal 1.0 0.02 
Uncertainty in dynamic tension 
calculation 

Q4 Normal 0.9 0.1 

Uncertainty in cycle-counting 
algorithm 

Q5 Normal 1.0 0.1 

Uncertainty in Miner-Palmgren 
hypothesis 

Q6 Log-normal 1.04 0.31 

Global uncertainty in log(a) 
parameter 

Q7 Normal see Table 2 )(logaVarkg ⋅  
(base case kg=0.5) 

Local uncertainty in log(a) parameter L Normal 0.0 )(log)1( aVarkg ⋅−  

Designer uncertainty  Normal 1.0 0.04 

Table 3  Distributions of random variables. 

The overall variance in )log(a  is based on the analysis of fatigue test data in section 4.4.  
This is split into a global and a local part using the factor gk .  This factor is set to 0.5 for the 
base case analysis.  This seems to be a reasonable estimate, but there is little information 
available to support this value.  Variation of this factor can be used to investigate the effect of 
assuming that nearly all the variability is global ( 9.0=gk ), or nearly all the variability is local 
( 1.0=gk ). 

 
Test case Number of components considered 
Ship in 70 m depth 765 
Ship in 350 m depth 1744 
Ship in 2000 m depth 1223 
Semisubmersible in 70 m depth 765 
Semisubmersible in 350 m depth 2216 
Semisubmersible in 1000 m depth 1357 

Table 4  Number of chain link or wire components considered in each mooring line. 

A designer uncertainty is included.  This is not normally relevant to a reliability analysis.  
It is included to simulate the effect of taking account of design calculations from different 
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designers in the calibration process, and is applied as a factor on the line diameter. 
The numbers of components taken into account in the reliability analysis are given in Table 

4. 

5 DESIGN ANALYSIS 
The design format of the fatigue limit state is written as 

01 ≥⋅− Cdγ  (1) 

whereγ  is the fatigue safety factor and Cd  is the characteristic fatigue damage.  The 
characteristic fatigue damage in a mooring line segment is computed as indicated by equation 
(4), using the design value of the intercept parameter Da  from Table 2.  The integration over 
environmental states is carried out as a discrete summation, and assumed to be finely enough 
discretised as to avoid any significant error.  The dual narrow-banded cycle counting 
algorithm is applied, or some other algorithm of comparable accuracy (e.g. rainflow 
counting), or a more conservative algorithm (e.g. the combined spectrum method).   No 
explicit account is taken of the number of components in the line segment. 

A damage factor fd  between two adjacent lines is defined as the ratio of the lesser 
characteristic fatigue damage to the greater damage of these two lines.  This damage factor is 
introduced to evaluate the possibility of two line failures. 

6 TARGET LEVEL 
Insufficient experience with the fatigue design of mooring lines was deemed to be 

available, to provide a suitable basis for the target reliability.  Hence, comparison with the 
safety levels of “transferable” structures was chosen as the method[5] to derive this target.  
Fatigue design requirements set by the Norwegian Petroleum Directorate[22] and widely 
applied in the design of jacket platforms were chosen.  A similar reliability analysis to the 
present analysis was applied, based on Sigurdsson and Cramer’s work[23].  The results are 
shown in Table 5.  Both these cases apply to jacket welds that are in the splash zone or that 
are inaccessible.  The jacket safety factor of 10 is classified for “substantial consequences,” 
while the factor of 3 is for “without substantial consequences.” 

 
Jacket fatigue design 

factor fγ  
Accumulated failure 

probability 
Failure probability  

in last year 
Selected annual  

target values 

3 6.6×10-3 1.1×10-3 1.0×10-3 
10 2.9×10-5 7.2×10-6 1.0×10-5 

Table 5  Computed probabilities of failure for the fatigue limit state applied to welded joints of jacket platforms.  
S-N curve parameters for joint class F2[19], with design life 20=dt . 

7 CALIBRATION RESULTS 
Calibration results for a single line are shown in Figure 2.  For the base case, with global 

variability factor 5.0=gk , the target level “without substantial consequences” is achieved 
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with a fatigue safety factor of 5.  It may be seen that the value of the safety factor is strongly 
dependent on the target level, and on the global variability factor.  With mainly global 
variability 9.0=gk , the safety factor corresponds to the original factor for a weld in a jacket 
platform; i.e. a safety factor of 3.   
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Figure 2   Safety factor as a function of target annual probability level, using S-N data with standard deviation of 

3,24.0)log( == ma , for various global variability factors 9.0,5.0,1.0=gk .  A single line is considered. 
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Figure 3   Safety factor as a function of target annual probability level, using S-N data with standard deviation of 

5.0,24.0)log( == gka , for various values of slope parameter m.  A single line is considered. 

Figure 3 indicates that the safety factor is only weakly dependent on the slope parameter m, 
at this consequence level.  Hence, the same safety factor can be applied to chain links and 



J.Mathisen, T.Hørte. 

 15 

both types of steel wire rope components. 
Calibration results for the two line failure event are shown in Figure 4.  This case is taken 

to have “substantial consequences,” such that a target probability of failure of 10-5 is 
appropriate.  Considering the base case, with global variability factor 5.0=gk , it may be seen 
that the safety factor of 5 obtained from the single line evaluation corresponds to the two line 
evaluation at a fatigue damage factor of 0.8 between adjacent lines.  A higher safety factor is 
required when the damage factor between adjacent lines is higher.  This safety factor can be 
well approximated by linear interpolation as 

( ) 8.0,2.0/8.035 >−+= ff ddγ  (1) 
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Figure 4  Safety factor as a function of  fatigue damage factor between 2 lines, with  target annual probability 

level 10-5 and various values of global variability factor. 

Further details of the reliability analyses and calibration are include in ref.[3]. 

8 CONCLUSIONS 
The calibration of a fatigue design code for mooring lines has been carried out on the basis 

of structural reliability analysis.  The analysis has revealed a potential for fatigue failure of 
two adjacent mooring lines in the same storm.  The fatigue reliability analysis has been 
extended to quantify this risk in an approximate way, and these results have been utilised in 
the calibration. 

It is recommended to develop a fracture mechanics model to analyse the potential for two 
line failures in the same storm more accurately.  Additional data from chain link fatigue tests 
would also be desirable, to establish the S-N curves with more confidence, and to better 
quantify the difference between global and local variability of the fatigue capacity. 
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